Abstract-Inductors realized with high permeable MnZn ferrite require, unlike iron-powder cores with an inherent distributed gap, a discrete air gap in the magnetic circuit to prevent saturation of the core material and/or tune the inductance value. This large discrete gap can be divided into several partial gaps in order to reduce the air gap stray field and consequently the proximity losses in the winding. The multi-gap core, realized by stacking several thin ferrite plates and inserting a non-magnetic spacer material between the plates, however, exhibits a substantial increase in core losses which cannot be explained from the intrinsic properties of the ferrite. In this paper, a comprehensive overview of the scientific literature regarding machining induced core losses in ferrite, dating back to the early 1970s, is provided which suggests that the observed excess core losses could be attributed to a deterioration of ferrite properties in the surface layer of the plates caused by mechanical stress exerted during machining. However, in a first experimental analysis no structural evidence for a deteriorated layer close to the surface is identified by means of Scanning Electron Microscopy (SEM). Therefore, in a next step, a new calorimetric measurement setup based on temperature rise monitoring is proposed in this paper in order to quantify and differentiate between core losses associated with the bulk and the surface of the ferrite plates and therefore to pinpoint the measured excess core loss to shallow layers of ferrite with deteriorated magnetic performance. Electrical measurement of the surface related core losses utilizing the widely accepted twowinding wattmeter method with reactive power compensation is outlined in the appendix but was not employed in this work due to comparably low measurement accuracy. By means of the proposed measurement technique, the bulk and surface core loss density of the MnZn ferrite material 3F4 from area. Critical plate thickness is then defined to be reached when the total power loss in the composite core has doubled compared to a solid (single-piece) core sample. This new quantity provides a very helpful figure for multi-gap inductor designs. Besides the deteriorated surface layers, several other mechanisms potentially contributing to increased core losses in multi-gap inductors were identified and are finally discussed in the appendix of this paper: flux crowding in the core due to tolerances and imperfections in machining and assembly; deterioration of ferrite properties due to pressure buildup in the stack of plates during the curing of the employed epoxy resin; ohmic loss in the ferrite associated with the current flowing in the conduction path provided by the low impedance of the ferrite material at high frequencies and the parasitic capacitance between winding and the ferrite core.
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I. IntroductIon
I N high power density converter systems, the switching frequency is increased substantially in order to strongly reduce the required inductance value and the volume of the employed power inductor. Very compact input inductors of PFC rectifiers and output inductors of inverters or DC/DC converters also feature a high current ripple which demands suitable core materials -at high frequencies preferable ferrite -and sophisticated inductor designs in order to keep the core and winding losses to a minimum. Inductors realized with high permeable ferrite materials require, unlike iron-powder cores with an inherent distributed gap, a discrete air gap in the magnetic circuit to prevent saturation of the core material and/ or tune the inductance value. This large discrete air gap can be divided into several partial gaps in order to reduce the air gap stray field and consequently the proximity losses in the winding, especially if copper foil is used to implement the winding (cf., Fig. 1(a) and (b) ). If the partial gaps are distributed over the entire length of the inner limb of an E-type core, the H-field in the winding window shows a quasi one-dimensional field distribution running in parallel to the inner limb [1] - [3] . This allows to implement the winding with copper foil which achieves a higher filling factor compared to HF litz wire, since the individual layers of the foil winding are aligned in parallel with the H-field and excessive eddy current losses can be avoided.
Following this idea, ETH Zurich together with Fraunhofer
Institute for Reliability and Microintegration (IZM) and Fraza company developed compact multi-gap foil winding inductors to realize a 8.2 kW/dm 3 (134 W/in 3 ) single-phase, fullbridge based PV inverter for the GOOGLE and IEEE Little Box Challenge (LBC) targeting the realization of the world smallest 2 kW inverter [7] . In order to achieve soft-switching throughout the mains period, Triangular Current Mode (TCM) modulation was employed resulting in a variable switching frequency in the range of 200 kHz -1 MHz for an inductance value of 10.5 µH. These system parameters were obtained from a Pareto optimization as described in detail in [6] . A picture of the realized inductor with dimension (14.5 × 14.5 × 22) mm 3 is shown in Fig. 1(c) . The inner limb of the inductor is composed of 24 × 0.6 mm thick stacked ferrite plates with 80 µm partial air gaps between the plates, resulting in a total air gap length of 1.92 mm. The inner limb is surrounded by the foil winding with a total of 16 turns, where each turn is composed of four parallel 20 µm thin copper foils which are mutually isolated with a 7 µm thin layer of Kapton. Furthermore, a sophisticated winding arrangement is used as shown in Fig. 1(b) , which forces the current to flow evenly distributed in all four parallel copper layer, thus counteracting the skin and proximity effect [4] , [5] , [8] , [9] . Moreover, the arrangement features both connection terminals at the outside of the winding where the magnitude of the H-field in the winding window is small, reducing losses caused by the termination of the foil winding, where it is difficult to keep the copper foil aligned with the H-field, to a minimum. The used core material is DMR 51 from the manufacturer DMEGC, a MnZn ferrite optimized for the frequency range of 1 MHz -2 MHz (similar in performance to Foil winding arrangement to achieve equal current sharing in parallel foils which has both connection terminals at the outside of the winding [4] , [5] . (c) Hardware picture of the realized 10.5 µH multi-gap HF inductor employed in the Google Little Box Challenge converter [6] .
3F4 from Ferroxcube or PC200 from TDK). All technical specifications of the multi-gap inductor are summarized in Table I and impedance analyzer measurements are presented in Fig. 2 . It can be seen that the implemented multi-gap foil winding inductor exhibits an excellent quality factor of 600 -700 between 200 kHz -1 MHz and a high resonance frequency of around 7.2 MHz.
Unfortunately, experimental measurements at an early stage of development revealed a substantially higher power loss than expected. By means of core loss measurements and thermographic inspection, the origin of additional losses could be attributed to the stacked ferrite plates constituting the center limb of the core. For this reason, the number of partial gaps was reduced from initially 50 to just 24 in the final inductor design (cf., Table I ). Upon consultation of scientific literature and further experimental investigation, four main reasons for the increased core losses were identified:
·Formation of deteriorated ferrite layers at the plate surfaces due to mechanical stress introduced during machining. ·Flux crowding in the multi-gap core due to tolerances and imperfections in machining and assembly (Appendix A). ·Deterioration of ferrite properties due to pressure buildup in the stack of plates during the curing of the employed epoxy resin (Appendix B). ·Ohmic loss in the ferrite associated with the current flowing in the conduction path provided by the low impedance of the ferrite material at high frequencies and the parasitic capacitance between outer layer of the foil winding and the ferrite (Appendix C). For the sake of brevity, only the surface loss related mechanism will be addressed in detail in this paper since it is by far the most significant contributor to the excess core loss. However, the interested reader is referred to the respective Appendix of this paper for a brief discussion of the other loss mechanism. The main scientific contribution of this work is an experimental method which allows to differentiate between core losses associated with the bulk and the surface of the ferrite plates required to implement the multi-gap inductor design and thus to pinpoint the measured excess core loss to shallow surface layers of ferrite with deteriorated magnetic performance as suggested in scientific literature dating back to the '70s. Moreover, the proposed technique allows to assess modern ferrite materials regarding their applicability in multi-gap inductor designs.
In Section II of this paper, the most important analyses and findings are shown in the literature regarding the impact of mechanical processing, such as cutting and grinding on the magnetic properties of ferrite are summarized and a microstructural analysis of the machined ferrite surface is presented. In Section III, mathematical expressions are derived to quantify core and surface loss densities from experimental temperature rise measurements using multi-gap core samples assembled from machined ferrite plates with distinct thicknesses. Moreover, the employed experimental setup based on Infrared (IR) thermometry is outlined. The proposed technique is then applied to characterize the MnZn ferrite material 3F4 at several peak flux densities and frequency values, that is to say at operating points｛ , f｝which resemble the Google Little Box Challenge application. The obtained experimental findings are presented in Section IV and subsequently discussed in Section V where the ratio between bulk and surface core loss is illustrated. Section VI concludes the paper and provides an outlook for future research.
II. MachInIng Induced Increase oF core Loss
The correct dimensions of ferrite plates or cuboidal pieces needed to implement a multi-gap core are typically not off-the-shelf available and must be machined from a larger ferrite piece. One option is to cut the plates from a long sintered ferrite bar using a precision saw as depicted in Fig. 3(a) . Since ferrite is a very hard and brittle ceramic, the saw must be equipped with a diamond blade. As a consequence of the cutting process with the abrasive diamond particles, a mechanical stress is introduced into the ground surface of the plate. As will be summarized in the following, it is claimed in the scientific literature that the exerted mechanical stress is deteriorating the magnetic properties of the ferrite in a thin layer just underneath the surface resulting in an increase of overall core loss (cf., Fig. 3(b) ).
The first investigations regarding the impact of mechanical stress on the properties of ferrite were conducted by E. Stern and D. Temme back in 1964 [10] . They observed that mechanical pressure applied to a toroidal core changes the remanent magnetization, coercive force and the shape of the BH-loop. They also claimed that compressive stress can result from abrasive machining and predominantly affects the ferrite close to the machined surface. Investigating several materials such as Garnet, NiZn and MgMn ferrite, Stern and Themme concluded that only magnetostrictive core materials are strongly affected by mechanical stress.
In 1970 John E. Knowles investigated how uniaxial stress affects the initial permeability -temperature curve, μ i (T ), of MnZn ferrite with different MnO/ZnO ratios [11] . Knowles compared the μ i (T ) curve of sintered and ground toroid core samples and learned that the permeability of the machined toroids (abrasion with a belt grinder or sandpaper) was lowered at high temperatures and raised at lower temperatures resulting in a sharp bend in the μ i (T ) curve and that the samples with higher MnO/ZnO-ratio were more sensitive. Knowles argued that the immense local pressure exerted during the grinding process caused a compressive stress in the surface layer and, consequently, a tensile stress in the interior of the ferrite. He further argued that it was hence possible for the compressed surface to influence the magnetic properties of the bulk ferrite. However, how much the properties of the bulk are affected depends on the exerted stress in the interior of the ferrite which is a function of geometry and size. In a follow-up publication in 1974, Knowles found that the loss factor, , of a ferrite pot core at 100 kHz increased by up to 33% after machining the mating and air gap surfaces with a diamond-wheel precision grinding machine [12] . Knowles experimentally determined that the grinding process causes a very large residual compressive stress in the surface layer with magnitude of up to 700 MN/m 2 (almost the ultimate compressive stress of the material) reducing almost linearly towards the interior of the sample, becoming negligible at a depth of 5 µm below the surface. In another experiment, Knowles applied manually a pressure to both flat faces of a toroidal core in order to investigate the dependency of the loss factor, permeability and coercitive force on the compressive stress in the ferrite. Based on the results, Knowles estimated that the average loss factor of the ground surface is roughly 350 times larger than the intrinsic loss factor of the examined MnZn ferrite material. The magnetic properties of a ferrite rod subject to tensile and compressive stress were also studied by E. C. Snelling [13] . Snelling applied either a tensile or compressive stress and recorded the permeability, the residual and hysteresis loss factor and the coercitivity of the MnZn ferrite sample. In close agreement with Knowles, Snelling observed that above 30 °C tension reduces the permeability and compression increases it and below about -10 °C the opposite is true. Snelling could also show that for both compressive and tensile stress, the residual and hysteresis loss factors increase. Kloholm et al. determined the magnetostrictive response of thin MnZn and NiZn ferrite plates (1 cm × 4.2 cm × 90 µm) as the applied magnetic field was decreased from saturation to magnetic remanence [14] . Additional abrasion of one side of the ferrite specimen with 180 grit SiC polishing paper caused a marked increase in magnetostrictive response of the sample, indicating that a deteriorated ferrite layer is formed underneath the machined surface. By knowing the magnetostriction constant of the investigated materials, Klokholm et al. estimated that the thickness of the deteriorated layer is about 40 µm -50 µm in case of the MnZn ferrite and around 90 µm -100 µm in the investigated NiZn ferrite.
The influence of machining on the properties of ferrite has also been studied extensively with respect to magnetic storage systems. NiZn and MnZn ferrite ceramics are widely used as recording head materials and are finished to a high degree of precision by diamond grinding and lapping. The finished ferrite surface is found to have a shallow magnetically inactive layer causing recording head performance to deteriorate [15] - [17] .
For the sake of completeness it should furthermore be noted, that recently [18] - [20] reported that the cutting process has also a substantial influence on the ferromagnetic material properties of steel sheets used to manufacture laminated iron cores for electric machines.
A. Microanalysis of MnZn Ferrite Surface
From the review of the scientific literature it can be concluded that ferrite is extremely sensitive to mechanical stress and machining likely deteriorates the magnetic properties. In order to find structural evidence of a deteriorated layer close to the surface and assess the surface condition of the machined MnZn ferrite plates, a Scanning Electron Microscopy (SEM) analysis was performed and the results are depicted in Fig. 4 . In Fig. 4 (a) the surface with clearly visible individual grains of a sintered MnZn ferrite sample (3F4) is shown where no subsequent (i.e., after sintering) machining process was applied. In contrast, the ground surface as a result of cutting the plate from a long ferrite bar with a diamond saw is depicted in Fig. 4(b) , showing deformed grains and grooves formed by the abrasive diamond particles. In order to assess the morphology of the ferrite underneath the surface, Focused Ion Beam (FIB) milling was performed as shown in Fig. 4(c) to expose the bulk ferrite material. The close-up view in Fig. 4(d) clearly indicates micro cavities and cracks roughly 5 µm -10 µm below the surface. Fig. 4 (e) depicts the plate surface after removing roughly 500 µm of material by means of abrasive polishing with SiC grinding paper and gradually decreasing the grain size from 22 µm down to 5 µm, using water as a lubricant. The last polishing step was performed with colloidal silica suspension with a grain size of 60 nm and a soft polishing cloth. Fig. 4 (f) depicts the lateral view (i.e. orthogonal to the machined surface) of the ferrite sample embedded in a Bakelite support after removing roughly 1 mm of material to expose the bulk. From  Figs. 4(e) and (f) it becomes clear that the cavities and cracks identified in Fig. 4(c) are not caused by mechanical stress exerted during cutting, but are the result of imperfections in the sintering of the MnZn ferrite. It should be noted that this is not vendor but rather process or technology specific, since the same cavities and cracks were also visible in ferrite samples from other vendors.
However, the presented SEM microanalyses did not reveal any structural abnormality which would allow to actually pinpoint the excess core loss to shallow layers of ferrite with deteriorated magnetic performance as suggested in the literature. Therefore, an experimental approach is derived in the following which allows to differentiate between core losses associated with the bulk and the surface of the examined ferrite plates.
III. QuantIFIcatIon oF surFace Losses
The nonlinear characteristics of magnetic core materials require large-signal measurements to determine core losses accurately. It is a common technique to experimentally measure core losses for sinusoidal excitation of different amplitudes and frequencies and then obtain the parameters of the well known Steinmetz Equation (SE), (1) by means of least-mean-square regression. Using the SE with identified parameters k, α and β then allows to accurately predict core losses for a limited flux density and frequency range.
Considering again a ferrite plate with cross section A p and thickness d p = 2d s + d b as shown in Fig. 3(b the thicknesses of the deteriorated layers at the plate surfaces and the bulk ferrite with intrinsic properties, respectively. To keep the derivation simple, it is assumed that there is a strict separation of surface layer and intrinsic material and that these segments exhibit a strictly cuboidal shape as indicated in Fig. 3(b) . It then follows that for homogenous flux density, ensured by the excitation circuit described in Section III-B, the total core losses in the ferrite plate are given by (2) wherein
is the fair assumption that the thickness of the surface layer is negligible compared to the thickness of the bulk. It is presented in the following, how a calorimetric measurement approach can be applied to experimentally determine both bulk and surface loss densities of a multi-gap core assembled from thin ferrite plates. The technique is based on determining core losses in ferrites by means of precise temperature rise monitoring as reported in [21] - [23] .
A second experimental method based on electrical core loss measurements using ferrite samples with a distinct number of gaps is discussed in Appendix D. Since the calorimetric method fully excludes the loss of the test circuit required to adjust the magnetic excitation and therefore allows to capture the power loss in the sample directly, it features a significantly lower measurement error and is therefore the preferred choice in this study.
A. Linear Thermal Model
The power loss in the core given in (2) during continuous operation causes naturally a temperature rise of the ferrite plate over time which can be modeled by a lumped thermal network considering one-dimensional heat flow as shown in Fig. 5(a) , wherein lumped parameters C th,s and C th,b capture the thermal capacitance of the surface layer and bulk material, respectively, and R th,b-s models the virtual thermal resistance of the bulksurface interface. Since the loss density in bulk and surface layer is homogeneous and a plate features a comparably low thermal conductivity towards ambient at its thin lateral faces in x, y-direction, i.e., R th,b-a → ∞, it is sufficient to consider a strict one-dimensional heat flow in pos. and neg. z-direction (i.e., normal to the plate surface; cf. Fig. 3(b) ). The power loss in bulk and surface region is captured with distinct current sources
(cf., κd b A p and κ s d s A p ) and a heat transfer to ambient in z-direction is taken into consideration with R th,s-a . Due to symmetry, the network can be simplified as shown in Fig. 5 (b). As will become evident from the thermography images provided in Section III-B, the thermal conductivity of the MnZn-ferrite (cf., Table II ) is large enough to support a homogenous temperature distribution within the plate, i.e., R th,b-s → 0. Accordingly, it is sufficient to consider the simplified first order thermal network with lumped parameters R th,p and C th,p as shown in Fig. 5(c) , where the total dissipated power is combined in a single current source. It follows from (2) that the average loss density in a plate of thickness d p is given by (3) Thus, based on the hypothesis that the loss density is larger in the surface layer than in the bulk, the average loss density increases inverse proportional with the thickness of the plate. As illustrated in Fig. 6(a) , a thin plate (d 1 ) is more governed by the characteristics of the surface layer and features a higher avg. loss density as opposed to a fairly thick plate (d 3 ) which approaches the loss density of the bulk ferrite.
If the heat transfer to ambient is negligible by means of sufficient thermal insulation (i.e., R th,p → ∞ in Fig. 6(a) ),the temperature of the plate increases linearly over time, 
where it is assumed that the initial temperature of the ferrite plate at t = 0 equals the ambient temperature, T amb . Inserting expression (2) in (4) yields (5) The equivalent thermal capacitance of the plate, C th,p , can be determined from a calibration measurement as described later in Section III-E or calculated according to (6) where c f and ρ f is the specific heat capacity and density of MnZn ferrite as listed in Table II , respectively. Note that it is assumed that the thermal capacitance of the plate is predominantly governed by the bulk properties. Substituting (6) in (5) leads to 
It can be seen that the temperature rise is governed by a constant contribution of the bulk material and a contribution of the power dissipation in the surface layer which depends on the actual ratio of surface to plate thickness. This trend is strongly supported by the experimental results depicted in Fig. 6 (b), where it can be seen that a multi-gap sample assembled from thin 1 mm plates features a much steeper slope in contrast to thicker 3 mm plates and the (very thick) solid reference sample. Interestingly, since both total power loss and total thermal capacitance increases proportional to the number of stacked plates, the slope of the temperature rise is not affected by the actual height of the stack (i.e., number of plates in the stack) as confirmed by the measurement results depicted Fig. 6 (c). This in turn allows to measure a stack rather than a single plate which is advantageous in accommodating the required flux sense winding and improves mechanical handling of the sample for a precise placement in the test circuit (cf., Section III-B).
Since the properties of ferrite are strongly depending on temperature, the duration t x to reach a specified temperature difference, ΔT = T end -T amb , is measured rather than a final temperature after a fixed time span Δt. Rearranging (7) leads to (8) for a plate with thickness d pχ . Now, performing two consecutive measurements with identical operating point but using ferrite plates with different thicknesses, d p1 and d p2 , allows to solve (8) to obtain the loss density of the bulk ferrite, (9) and the loss per surface area, (10) Note that since the actual thickness of the surface layer d s is unknown, it is more suitable to define power loss per surface area, [κ s ] = mW/cm 2 .
B. Experimental Setup
An excitation circuit is needed which ensures a homogeneous flux density distribution in the sample, allows to characterize the core loss for different flux density amplitudes and frequencies, and facilitates an easy installation of different samples. A magnetic circuit resembling an E-type core with the multigap sample located in the center limb as depicted in Fig. 7 (a) is chosen in this study, since it only requires a single sample as opposed to a U-type setup and can be assembled by individual off-the-shelf available ferrite cuboids minimizing custom machining effort. The multi-gap sample in the center as well as the individual ferrite cuboids are fixated by means of a 3D printed mounting fixture and fastening screws. Consistent pressure applied to the ferrite regardless of the inserted sample is guaranteed by means of a torque wrench adjusted to 0.02 Nm. In Fig. 7 (c), two multi-gap samples assembled with 1 mm and 3 mm thick plates, respectively, and a solid, single piece ferrite sample are shown. The equivalent circuit of the test setup is shown in Fig. 8 , where the transformer equivalent circuit with open secondary winding represents the magnetic excitation circuit with flux sense winding. The reactive power of the magnetic circuit is compensated by means of a series connected capacitor in order to reduce the burden on the HF voltage source (Iwatsu IE-1125B) and attain all operating points｛ , f｝of interest given the output voltage limitation of the amplifier.
Since the outer magnetic circuit contributes to the total core losses (troublesome in the case of the electrical loss measurement, cf., Appendix D) and heat generation in the test circuit can affect sample temperature, the dimensions of the outer magnetic circuit are chosen such that its losses are minimized while keeping the flux density in the sample homogeneous. This can be achieved by increasing the cross section of the magnetic path while minimizing its avg. magnetic length, since the sample-to-core loss ratio considering homogenous flux density in the setup is given by where A test , A p and l m,test , l m,sample denote the cross section area and avg. magnetic path length of the test circuit and sample, respectively. However, due to the distributed gap, the comparably large magnetic reluctance of the installed multigap sample in the center limb results in a significant leakage flux which potentially causes an inhomogeneous flux density distribution in the sample or bypasses it completely and only contributes to undesired loss in the test circuit. With the aid of magnetostatic field simulations (cf., Fig. 7 (b)), optimal dimensions based on readily available core shapes were obtained which maximize the sample-to-core loss ratio of the setup while keeping the flux density distribution in the sample homogenous. As shown in Fig. 7 (a), two measures were employed which greatly contribute to a homogenous flux density distribution in the sample: (i) the turns of the excitation winding are split in two sections directly above and below the sample and (ii) tapered center limbs are employed to accommodate the cross section difference between test circuit and sample. In order to correctly adjust the desired flux density amplitude in the multi-gap sample despite different cross (a) Test circuit resembling an E-type core with a multi-gap core sample located in the middle of the center limb; fastening screws and a 3D printed mounting fixture keeping the individual ferrite cuboids of the outer magnetic circuit and the sample in position; splitting the turns of the excitation winding in two sections above and below the sample and employing tapered center limbs to accommodate the cross section difference between outer magnetic circuit and sample facilitates a homogenous flux density distribution in the sample; a dedicated tightly wound sense winding is placed around the center of the sample to correctly adjust the peak flux density; measures to increase the thermal resistance to ambient are the polystyrene casing and the air gap lattice inserted between sample and test circuit. (b) FEM simulation result showing the homogenous flux density distribution in the sample. (c) Picture of multi-gap samples composed of 1 mm and 3 mm plates, respectively, and the single piece solid reference sample. To adjust the partial gap length, 100 µm thick Mylar foil is inserted between the plates. section areas and leakage flux, a dedicated tightly wound sense winding is placed around the center of the sample as indicated in Fig. 7(a) .
As mentioned previously in Section III-A, due to the constant loss density and the low thermal conductivity towards ambient in lateral direction, a uniform temperature distribution in (x, y)-direction (cf., Fig. 3 ) is present throughout the sample which allows to infer the correct temperature from a measurement at one of the lateral surfaces. In this paper, infrared thermography is the preferred temperature instrumentation since (i) it allows to compute the average temperature over the entire multi-gap sample as opposed to a single spot measurement provided by fiber optical temperature probes, thermistors (NTC, PTC) or thermocouples and (ii) is contactless, i.e., does not require to physically attach a probe to the delicate sample. Moreover, infrared thermography reveals non-uniform temperature distributions and the formation of hot spots and thus allows to detect inhomogeneous flux density distribution in the sample (f.i. flux crowding) caused by a potential sample misalignment and/ or an excessive gap between sample and center limb pole pieces of the test circuit. Using thermography to determine core loss distribution in magnetic components has been reported in [24] , [25] and to detect defects in ferromagnetic laminated sheets and soft mangetic composites in [26] . The authors in [27] , applied infrared thermography to visualize the iron loss distribution in a permanent magnet motor. A picture of the experimental measurement setup is depicted in Fig. 9(a) , showing the implemented test setup according to Fig. 8 with the magnetic circuit and capacitor bank and a FLIR A655sc high definition infrared camera pointed towards the multi-gap sample. The camera is equipped with additional close-up lens to allow a working distance of around 6 cm -7 cm between sample and camera lens and provides 50 µm spatial resolution. The lower ±2 °C absolute measurement accuracy of a microbolometer [28] is not relevant here, since according to (9) and (10) only a temperature difference must be determined and the standard deviation per detector pixel of a high end infrared camera is typical around 0.1 °C -0.2 °C [29] . Compensating the reactance of the magnetic test circuit is necessary to attain all ｛ , f｝ operating points of interest given the limited voltage range of the employed IWATSU IE-1125B HF power amplifier. For a good agreement with the linear model derived in Section III-A, the heat transfer from sample to ambient in the experimental setup must be reduced as much as possible. To prevent convective heat transfer from the lateral surfaces of each individual plate in the stack to ambient, the sample is encased in polystyrene except for the surface pointing towards the infrared camera as it can be seen from Fig. 7(a) and Fig. 9(a) . Furthermore, to minimize conductive heat transfer from the multi-gap sample to the two center limb core pieces of the E-type test circuit, an additional gap between sample and adjacent pole pieces is inserted. A gap length of around 0.5 mm is a still acceptable trade-off between minimizing conductive heat transfer and establishing a homogenous flux density in the sample close to the interfaces. In order to achieve the lowest possible thermal conductivity, the gap is realized by means of a 3D printed lattice made out of polycarbonate as it is depicted in the detail view of Fig. 7(a) .
The experimental results presented in Section IV of this paper were obtained by relating the slope of the temperature rise of a multi-gap sample with 7 stacked 3 mm ferrite plates (d p1 = 3 mm) to a solid, single-piece reference sample of 21 mm length (d p2 = 21 mm). Mylar foil is inserted between adjacent plates to establish a gap length of 100 µm, which, Fig. 8 . Schematic of the employed excitation circuit; the dedicated sense winding with N 2 turns allows to precisely determine the flux density. The reactive power of the magnetic circuit is compensated by means of a capacitor bank to reduce the burden on the HF voltage source and attain all operating points｛ , f｝of interest despite the limited HF amplifier voltage range.
in combination with 3 mm plates, completely alleviates loss contribution arising from flux crowding in the sample caused by assembly and mechanical tolerances as described in Appendix A. At each operating point of interest, ｛ , f｝, the temperature rise after abruptly enabling the correctly adjusted power amplifier is recorded for both samples and the core and surface loss density are then computed according to (9) and (10) . The elapsed time to reach a specific temperature difference ΔT starting from ambient temperature is extracted from the captured temperature rise in a subsequent post-processing step. Since the core loss and many other properties of ferrite depend strongly on operating temperature, a large temperature deflection would certainly have an impact on the results. However, the high frame rate of the infrared camera (up to 50 Hz with full resolution of 640 × 480) allows to determine the elapsed time even for a very small temperature difference of just a few °C. The experimental results presented in this paper were obtained for ΔT = 2.5 °C.
A snapshot of the temperature rise of the solid and multigap sample subjected to an excitation with 125 mT at 400 kHz exactly after 30 s of total elapsed measurement time is shown in Fig. 9(b) and (c), respectively. Since both measurements were started from ambient temperature, T amb = 26.4 °C, it can be clearly seen that the multi-gap sample heats up much faster showing a final temperature reading of around 38 °C in contrast to roughly 32 °C of the solid sample. Note that the interruption of the uniform temperature distribution by the sense winding is in the center of each sample.
C. Longitudinal Temperature Gradient
Referring to Fig. 9(b) and (c), it is noticeable that both samples exhibit a temperature gradient in longitudinal direction with slightly lower temperatures at both ends where the sample connects to the outer magnetic circuit. Fig. 10 depicts the computed temperature profile of both infrared images in longitudinal direction, whereby the temperature reading at every camera pixel in the plot represents the mean temperature of all sensor pixels encompassing the sample in transversal direction (i.e., orthogonal to the direction of the flux). It becomes evident that the temperature gradient in the multi-gap sample is more pronounced (≈ 3.75 °C) compared to the solid reference sample (≈ 1.25 °C). Moreover, the temperature profile of the multi-gap sample exhibits a clear local maximum whenever two surfaces of adjacent ferrite plates meet, i.e., at the surfaces of the plates. Now, a representative thermal network of stacked plates is shown in Fig. 11(a) which is helpful to explain the more pronounced temperature gradient in the case of the multi-gap sample. Note that the simplified thermal model of a single plate according to Fig. 5(c) is considered. Since the thermal capacitance of a piece of Mylar foil is negligible compared to the ferrite plate (cf., Table II ) only the thermal resistance introduced by the gap material, R th,m , is included in the model. Although the thermal conductivity of Mylar is at least a factor 10 lower compared to MnZn ferrite, the resulting thermal resistance of foil and ferrite plate is in the same order of magnitude (≈ 15 K/W as listed in Table II ). However, since the length of both samples examined in this study is equal per design and the Mylar foil has virtually no contribution, Fig. 9 (b) and (c) ; the dashed line represents the average value of the IR sensor and is used to compute ΔT . the effective thermal capacitance of both solid and multi-gap sample is identical. Ideally, if R th,a → ∞ then each plate will exhibit exactly the same temperature rise irrespective of the actual position in the stack as confirmed by a circuit simulation. However, the thermal resistance achieved with the air gap lattice is estimated to be around R th,a = 117.8 K/W considering the thermal conductivity of polycarbonate (PC) and air (air gap lattice, cf., Fig. 7(a) ), and evidently not large enough to support uniform heating in longitudinal direction. It follows that the temperature gradient is more pronounced in the case of the stacked plate assembly since heat close to the center of the sample encounters an effectively larger thermal resistance in longitudinal direction towards both ends of the sample in comparison to the solid, single-piece sample. Now, in order to determine the elapsed time to reach a specific temperature difference, ΔT , the pragmatic way of averaging the IR sensor reading also in the longitudinal direction is followed as indicated with dashed lines in Fig. 10 , naturally excluding the distortion in the center of the sample caused by the flux sense winding. The corresponding first order thermal model is shown in Fig. 11(b) and the expression for the core and surface loss densities based on the linear model are refined in the following. Note that in the following, R th and C th denote the equivalent thermal parameters of a stack of plates (cf., R th,p and C th,p of a single plate, Fig. 5(c) ).
D. Exponential Thermal Model for Multi-Gap Assembly
Based on the equivalent circuit shown in Fig. 11(b) , the temperature rise of an assembly with m plates of thickness d p starting from T amb at t = 0 is given by (12) with the time constant τ = R th C th and the core volume of a plate V p = d p A p . It should be emphasized, that the total core volume V p∑ = mV p is kept constant by adopting the plate thickness in accordance to the number of gaps such that the examined κ κ multi-gap samples feature equal thermal parameters R th , C th . Analogously to the derivation described in Section III-A, measuring the elapsed time t 1 and t 2 of two samples with distinct plate thickness d p1 and d p2 to reach a specific ΔT allows to calculate the core loss density (13) and the surface loss density (14) given that thermal parameters R th and C th are known from a preceding DC calibration measurement as described in the next subsection.
E. DC Calibration
By means of capturing the temperature response of the sample subject to a stepwise impressed power loss of pre-determined value, the parameters of the model (12) can be identified by means of a least mean square regression. For good predictions of the model, it is crucial that the power range covered in the calibration actually resembles the core loss occurring in the respective operating point of interest,｛ , f｝. Fig. 12(a) shows the excellent agreement between the measured temperature response obtained for the solid sample (blue) and the simulated response of the mathematical model with identified parameters (red) for several impressed power levels ranging from 0.5 W to 7 W. Treating the solid ferrite sample as an electric conductor with a DC resistance, R DC , the power loss required for the calibration measurements can be impressed by means of Joule heating, P DC = R DC I 2 DC . The measured DC resistance of the solid sample amounts to 5.5 kΩ at room temperature and varies strongly with temperature as shown in Fig. 12(b) . Since the temperature of the sample rises during the measurement but the impressed power must be kept constant (step response), feedback control is employed to tightly track P DC reference by means of adjusting the applied DC voltage as schematically depicted in Fig. 12(c) . Since DC quantities are involved, the power instrumentation is trivial. Terminals to connect the leads of the DC supply are formed with narrow stripes of 50 µm thick copper foil glued to both ends of the sample using conductive silver epoxy. Using thin copper foil for the contacts allows the sample to be properly installed in the magnetic test circuit during the calibration which is crucial to correctly identify the thermal resistance to ambient. The identified parameters, C th = 3.83 J/K and R th = 37.8 K/W are in reasonable agreement with estimates based on material constants as listed in Table II (7 · C th,p ≈ 3.6 J/K, 1/2 · R th,a = 58.9 K/W).
F. Measurement Error
Consolidating (13) and (14), two main sources of error can be identified: (i) The IR camera's standard deviation of the temperature difference measurement ΔT denoted with σ ΔT and (ii) uncertainty in the parameters R th , C th of the underlying model represented with standard deviations σ R and σ C . Potential uncertainty in the measured time intervals due to sampling delay and/or jitter of the IR camera is neglected because of the high sampling frame rate relative to the measurement time. In order to calculate the error propagation, the non-linear equations of κ and κ S are linearized around χ = (t 1χ , t 2χ , κ χ , κ sχ ) resulting from a specific excitation ｛ χ , f χ ｝. In the following the equations are only explicitly presented for κ for the sake of brevity. The standard deviation of κ around χ is then given by [30] (15)
where ∑ denotes the covariance matrix and J κ (χ) is the Jacobimatrix of κ at χ ,
The covariance matrix is given by (17) where r x,y represents the correlation coefficient between stochastic variables x and y. From a physical standpoint, there is only a weak correlation between variations in R th and C th and also between variations in ΔT and R th . However, there is a more pronounced negative correlation between variance in ΔT and C th , since a larger ΔT during calibration with a specific impressed power and measurement time interval leads to smaller C th . Instead of presenting exhaustive analytical equations, some general facts should be highlighted. Naturally, a distinct difference in plate thickness between the examined multi-gap samples results in a significant difference in elapsed time to reach ΔT and thus supports a small measurement error. Since the measurement time t 1χ and t 2χ for a specific ΔT increases inversely proportional to the dissipated power in the ferrite plate, a small (large) absolute error must be expected at a low (high) loss operating point, respectively. In principle, allowing a larger temperature difference ΔT increases the measurement time and leads to a reduction in error. However, ΔT cannot be increased too much (here ΔT = 2.5 °C cf., Section III-B) since the ferrite properties are a strong function of temperature. In order to calculate a worst case bound on the measurement error a deviation of σ ΔT = 0.3 °C and a 15% deviation of the thermal parameters from their expected values as listed in Table II is assumed. Moreover, since in (17) the exact correlation between the variables is unknown, a worst case error of κ and κ s is determined by varying the coefficient r x,y in a numerical study. It then follows from (15) that for the operating points of interest, the worst case rel. measurement error is estimated to be (18) 
IV. exPerIMentaL resuLts
In this section the bulk and surface core loss density of MnZn ferrite material 3F4 of Ferroxcube are presented. The experimental results were obtained by means of the thermometric measurement setup with IR camera as described in detail in Section III-B and expression (13) and (14) based on the exponential thermal model. The measurements were carried out for a sinusoidal flux density with amplitudes varying from 75 mT up to 200 mT and excitation frequencies ranging from 200 kHz up to 1 MHz. For this range of operating points｛ , f｝ , the worst case relative measurement error of both bulk and surface core loss density is limited to 20% as discussed in the previous section.
The bulk and surface core loss density at a fixed frequency of 400 kHz and varying flux density amplitudes is depicted in Fig. 13(a) and (b) . The predictions obtained from the Steinmetz model (1) fitted to the experimental data and from parameters provided by the vendor are represented by the dashed blue and red line, respectively. The experimental and vendor parameter 
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of the Steinmetz model are summarized in Table III . In a similar manner, the bulk and surface core loss density at a fixed flux density amplitude of 100 mT and varying excitation frequency is depicted in Fig. 14(a) and (b). Note that depending on the frequency range a different set of vendor Steinmetz parameter is employed which explains the slight kink in the dashed red line at 600 kHz as indicated in Fig. 14(a) . However, the Steinmetz fit to the experimental data was performed over the entire frequency range which explains the discrepancy, especially in the frequency exponent α, between experimental and vendor parameters (cf., Table III ). It can be seen from Fig. 13(b) and Fig. 14(b) that the measured surface loss density varies from 30 mW/cm 2 to 600 mW/cm 2 for the considered operating points. Table III , [31] ) is indicated by the dashed red line in (a).
In order to assess whether the Mylar foil inserted between the plates has any contribution to the measured surface loss (e.g., by magnetostriction introduced friction), a multi-gap sample was prepared using Mylar foil with a punched round hole of approx. 5 mm diameter in the center of each foil as illustrated in the bottom right of Fig. 15 . Punching a hole in the center ensures the desired gap distance and therefore still ensures equal flux distribution and/or prevents partial saturation while removing roughly 50% of the gap material. The measured surface loss density of a multi-gap sample with punched Mylar foil is compared to the regular multi-gap sample in Fig. 15 , showing no difference between the results. To understand whether or not machining is actually the main cause of the increased core loss, ferrite plates directly sintered to the final dimension were provided by Ferroxcube in this study. These plates were manufactured by pressing and then machining ferrite powder into the appropriate dimensions before the actual sintering was performed (green grinding). Taking the size shrinkage caused by the sinter process into account, the correct final dimension of the plates has been immediately achieved eliminating the need of an additional machining step. The experimental measured surface loss density is also included in Fig. 15 . It can be seen that κ s has slightly reduced at low flux density amplitudes in comparison to the regular sample composed of machined ferrite plates and exhibits a steeper slope corresponding to a Steinmetz parameter of β s = 3.4.
V. dIscussIon
The measured core loss densities shown in Fig. 13(a) and Fig. 14(a) show good agreement with the Steinmetz model provided by the manufacturer validating the proposed calorimetric core loss measurement technique. With regard to the surface loss densities (cf., Fig. 13(b) and Fig. 14(b) ), the experimental data can be also well predicted with the Steinmetz model. Interestingly and as to be expected, the Steinmetz parameters of the surface layer are slightly different from the bulk material as listed in Table III Roughly half of the Mylar foil area was removed in the case of the punched foil sample. The green grinded sample was constructed from ferrite plates which were pressed and then sintered to the desired dimensions without machining.
and the flux density exponent β is larger (2.77 → 2.9). Since the loss in the deteriorated surface layer is more sensitive to variation in flux density than it is to variation in frequency (almost linear relationship with frequency), it can be argued that hysteresis losses are more pronounced in the surface layer. In order to illustrate the impact of κ s in more practical terms, the total power loss of a composite core assembled from individual d p thick plates relative to the bulk core loss of a solid ferrite piece with d bulk total length is computed, (19) and depicted in Fig. 16(a) based on the experimental results obtained for 3F4 at 125 mT and 400 kHz. The reference sample is constructed from a single piece of ferrite with a total length of 20 mm exhibiting only bulk core loss. With decreasing height of the ferrite plate, more and more plates must be stacked to reach the same length as the solid reference sample. Consequently, the total losses increase since more and more deteriorated surface layers are introduced in the sample. Note that the ratio between total and bulk core loss given by (19) is a function of only the plate thickness, d p , since both bulk and surface core losses increase proportional with the core cross section, A p , and the total sample length, d bulk , assuming that d bulk is varied in multiples of d p . To further clarify, two composite core samples with different cross section area and/or different total sample length will exhibit the same total to bulk loss ratio (19) if the samples are constructed of plates with identical thickness. The critical plate thickness d p,crit is defined to be reached when the surface loss is equal to the bulk core loss, that is to say when the total power loss has doubled compared to the solid (singlepiece) sample. In the case at hand, a composite core with 13 stacked 1.5 mm plates will exhibit roughly twice the core loss compared to the single-piece reference sample. Since κ and κ s exhibit a different dependency on flux density amplitude and frequency (cf., Table III ), the critical plate thickness varies depending on the actual operating point｛ , f｝as depicted in Fig. 16 (b). It should be noted that, the actual critical thickness depends not only on the properties of the ferrite but also on the exerted mech. stress during the machining of the plates. In an open discussion of the findings with the scientific community prior to this publication, it was argued that the measured excess core loss in the multi-gap core is actually the result of microvibrations causing friction between plate surface and gap material and that these micro-vibrations are excited by means of magnetostriction as discussed in detail in [32] - [34] . In this respect, if friction between plate surfaces and Mylar would indeed be the reason for the measured surplus core losses, then in case of the sample using punched Mylar foil, where roughly half of the interaction area was removed, a significant reduction in κ s should be observable. However, as depicted in Fig. 15 , the measured surface loss density of the multi-gap sample with punched and regular Mylar foil is essentially identical, which strongly contradicts the notion that micro-vibration are the origin of the excess core losses. Furthermore, an experimental assessment with a laser vibrometer (Polytec CLV-2534) confirmed that within the considered excitation frequency range no micro-vibrations are excited. Moreover, the idea was put forward that the measured excess core loss might be associated with machining and assembly tolerances. For instance, a pronounced tilt between the plates of the multi-gap assembly causes a non-uniform gap length which has a strong impact on the core loss due to flux crowding, especially if the assembly is composed of very thin plates and/or features small gap lengths. However, as analyzed in Appendix A, for a worst case machining and assembly tolerance, the plate thickness and gap length can be chosen such to minimize the resulting impact of flux crowding. The combination of using 3 mm plates and 100 µm gap length to implement the multigap sample examined in this study, results in a negligible contribution of flux crowding to the measured excess core loss in the multi-gap sample.
Very intriguing is also the fact that directly sintered plates still exhibit excess core loss in the same order of magnitude as the κ κ κ κ κ κ κ machined plates which contradicts the hypothesis that mech. stress during machining is introducing the excess loss. However, it can be argued that the directly sintered plates also feature a layer of deteriorated ferrite performance close to the surfaces. These deteriorated layers are not caused by mech. stress introduced during machining but from an altered Fe 2+ / Fe 3+ ion concentration in the iron oxide close to the surface. Among other factors, the oxygen concentration in the atmosphere during sintering strongly affects the balance between Fe 2+ and Fe 3+ ions. Since the plate surfaces are directly exposed to the atmosphere inside the controlled temperature ferrite processing chamber in contrast to the bulk, and a deviation from the ideal, temperature dependent O 2 concentration is inevitable in a practical setting. Thus, a shallow ferrite layer close to the surface is likely to exhibit adverse magnetic properties which is an explanation why there is also excess core loss present in the case of the directly sintered plates.
VI. concLusIon
A multi-gap inductor design can potentially reduce winding losses due to a reduction in the magnetic air gap leakage field. Unfortunately, the manufacturing of a multi-gap corecomposed of multiple stacked MnZn ferrite plates -can lead to an increase of core loss which potentially outweighs the saving in winding conduction loss. Based on the literature, the dominating cause of the excess core loss is shallow layers of deteriorated magnetic performance just underneath the plate surfaces. A sophisticated calorimetric measurement approach based on temperature rise monitoring was developed, allowing to differentiate between and quantify bulk and surface core loss densities. Experimental results were presented for the MnZn ferrite material 3F4 from Ferroxcube. Reasons for the deteriorated surface are mechanical stress exerted during machining of the plates as suggested by the literature and nonideal conditions during sintering as suggested by the vendor. Several post machining treatments proposed in the literatureannealing, etching and stress-free polishing with colloidal silica -have been applied to the machined plates in order to restore the original ferrite properties and reduce core loss, unfortunately without significant success so far. Accordingly, more work needs to be done, especially considering an annealing treatment with defined atmosphere and temperature profile recommended by the vendor. Moreover, NiZn ferrite should be examined in future work since it is known from the literature that low-μ materials are less sensitive to mechanical stress. Thus, a multigap design using NiZn ferrite might not suffer from increased core losses as also the recent work in [35] seems to indicate.
aPPendIx a InFLuence oF asseMBLy and MachInIng toLerances
In the multi-gap inductor design described in the introduction of this paper, the center limb of the E-type core is composed of thin ferrite plates stacked on top of each other. These plates are either cut from a long ferrite bar by means of a diamond saw or are manufactured by pressing ferrite powder into the desired shape prior to sintering. Due to mechanical tolerance in the manufacturing processes, it is possible that the plate surfaces exhibit a convex or concave curvature or are not ideally coplanar. In order to establish the correct gap length, a non-magnetic spacer material is inserted between the plates. The spacer, also intended to glue adjacent plates together, can be realized by means of a plastic film (e.g., Kapton or Mylar) with double sided adhesive or by a mix of epoxy resin with spherical silica powder as outlined in Appendix B, where the latter allows gap lengths below 30 µm. Due to mechanical tolerances, it is possible that the plates in the stack are not ideally coplanar but slightly tilted. In order to estimate how much these machining and assembly tolerances affect the core losses, a 2D FEM study was conducted. The static flux density distribution within the stacked plates considering a linear core material (σ = 0, r = 1, μ r = 3000) is computed based on Ampères's Law. In Fig. 17(a) , the impact of several machining/assembly tolerances on the flux density distribution is shown. The ideal multi-gap core, composed of 15 × 1 mm thick plates with a 30 µm gap, is depicted at the very left indicating a homogeneous flux density distribution. The flux density component normal to the plate surface (y-direction) averaged with respect to the plate width (x-direction) in the very center of the stack (cf., red line in the image on the very left of Fig. 17(a) ) for one ampereturn of excitation is chosen as benchmark for an insightful comparison in per unit values. Since the effective permeability of the composite core changes depending on the magnitude of the simulated non-ideality, the excitation current is adopted accordingly such that the avg. flux density in y-direction in the center of the stack is identical under all considered scenarios. Introducing variable d Δ to model tilt, curvature and noncoplanarity arising from mech. tolerances, leads to a pronounced flux crowding as it can be seen from the FEM simulation results in Fig. 17(a) . The impact of flux crowding on the actual core loss is estimated considering p ∝ B β pu according to (1) , where β = 2.4 in this study. The avg. loss density of the multi-gap core is then given by, (20) where A denotes the total core area of the stack. Fig. 17(b) shows the avg. loss density for a fixed plate thickness and gap length (d p = 1 mm, d gap = 30 µm) but for a varying deviation. A tilt between plates has the most significant impact and results in an increase of the avg. loss density up to a factor of 2.3 for the worst considered error of d Δ = 50 µm. Note that the effective difference in gap length measured at both ends of the plate is actually twice d Δ as indicated in Fig. 17(a) . Fig. 17(c) depicts the avg. core loss density as a function of the gap length d gap for a fixed plate thickness and the worst case error. It becomes evident that increasing the individual gap length allows to mitigate the impact of the error on the loss density. Likewise, Fig. 17(d) depicts how the loss density reduces when the stack is composed of thicker plates. It can be concluded from this study that even if all plates feature undisturbed ferrite properties, an excess of core loss can still be observed in a multi-gap inductor due to machining and assembly tolerances. A deviation of d Δ = 50 µm might reflect a worst case scenario, but it is reasonable to expect a deviation of d Δ = 10 µm -20 µm in practice. For instance the standard deviation in plate thickness measured with a precision caliper at all four lateral faces amounts to 5 µm in the case of the machined plates and to 23.7 µm in the case of the direct sintered plates (cf., Section IV and Section V) provided by Ferroxcube for this study. In order to isolate and correctly quantify surface related core loss, the multi-gap samples employed to obtain the experimental data presented in Section IV of this paper are constructed with 3 mm thick plates and 100 µm Mylar foil which limits the impact of mech. tolerances on the measured core loss to less than 5% for the (unlikely) worst case error.
aPPendIx B core Loss Increase caused By Pressure BuILduP
To ensure mechanical stability of the multi-gap inductor, the ferrite plates constituting the center limb have to be adhered to each other. The two-component adhesive Duralco 4460, which is based on epoxy resin was chosen for this task. Before application, the adhesive was mixed with spherical silica powder to provide a defined gap length [3] . Although the volume shrinkage of the glue is only 0.5% [36] , the ferrite material is exposed to mechanical stress after this manufacturing process. Furthermore, since the cured glue shows a very low viscosity, the difference in thermal expansion coefficients of the glue (CTE of 64 ppm/K [36] ) and the ferrite (CTE is approximately 12 ppm/K) can cause additional mechanical stress on the ferrite material. The impact of mechanical compression on the permeability and the saturation flux density was investigated in several publications, e.g., [37] - [39] . However, these property changes are not critical in the case of the designed multigap inductor (cf., Table I ), since the effective permeability of the magnetic circuit is mainly determined by the length of the gap. Here, the most important observed parameter shift due to exerted mechanical stress on the ferrite is the increase in hysteresis losses. In [40] this effect was investigated on molded ferrites. E cores were glued on a PCB substrate and encapsulated using a transfer mold process at a temperature of 175 °C and a process pressure of approximately 10 MPa. The core losses before and after this technological process were determined electrically by applying the measurement principle described in [41] and reviewed in Appendix D of this paper. It was observed that the core losses of the investigated ferrite materials are increased after the molding process. Fig. 18 and (b) depict the measured results for 3F4 at 25 °C and 100 °C, respectively (in [40] material G was examined). The results show a more distinctive increase of core loss at higher flux densities, e.g., increase of core loss after molding at 1 MHz, 100 °C and 20 mT by a factor of 1.2 and at 1 MHz, 100 °C and 150 mT by a factor of 1.7. Due to the larger share of eddy current losses at higher frequencies, the dependency of the core loss increase due to mechanical compression on the frequency is lower, e.g., an increase of core loss after molding at 100 mT, 100 °C and 1 MHz by a factor of 1.74 and at 100 mT, 100 °C and 2 MHz by a factor of only 1.45 occurs. It is concluded in [40] that only the hysteresis losses are increased by mechanical stress on the material. Furthermore, it is worth noting that the increase of the core losses is lower at a temperature of 100 °C compared to 25 °C. How much the additional hysteresis losses in the stack of ferrite plates can be reduced by using a more elastic adhesive, for instance Duralco 4538 with a shore hardness of only D70 [36] , is the subject of ongoing research.
aPPendIx c ohMIc conductIon Loss In FerrIte
Another origin of core loss in the multi-gap inductor design discussed in Section I is related to the finite conductivity of the MnZn ferrite and the high parasitic capacitance between the winding packages (cf., Fig. 1(a) and (b) ) and the outer magnetic core. The effect can be explained by means of Fig. 19(a) .
Between both outer turns of the top and bottom winding package and the ferrite of the magnetic return path (outer limb) a high parasitic capacitance is formed due to the comparably large surface of the foil winding. By means of a simple plate capacitor model, the capacitance per winding package is estimated to be approximately 120 pF (relative permittivity of the insulation foil: 3.5, the foil thickness: 60 µm, surface of one winding package that is covered by ferrite: 240 mm 2 ). The voltage occurring between both turns is the total inductor voltage, because the outer turn of the top winding package is the first and the outer turn of the bottom winding package is the last turn of the inductor winding. Therefore, a high parasitic current through the ferrite material occurs at high frequencies and causes additional losses in the ferrite material due to the finite ohmic resistance of the ferrite. Fig. 20(a) shows the measured specific impedance of the MnZn ferrite DMR51. The measurement was performed on a ferrite cuboid (length: ) using the impedance analyzer Agilent 4294A. The MnZn ferrite material is comprised of grains with a relatively low specific ohmic resistance and layers of high resistivity between these ferrite grains. At frequencies up to 4 kHz the specific impedance is almost exclusively determined by the specific ohmic resistance of the grain boundaries and is approximately 8.3 Ωm. At higher frequencies an additional capacitive current flows across the isolating layers (grain boundaries), thus the impedance features a capacitive imaginary part and the magnitude reduces. The specific impedance of the DMR51 material at a frequency of 1 MHz is only (0.3 -0.58i) Ωm.
Considering the geometry of the inductor, the resulting impedance of the average conduction path through the ferrite at a frequency of 1 MHz caused by the described parasitic capacitance is Z Fe = R Fe + jX Fe = (47 -91i) Ω (length of the conduction path: 9 mm, cross section: (1.9 × 30) mm 2 ). It follows then that the impedance of the equivalent circuit (cf., Fig. 19(c) ) is given by (21) wherein the approximation holds since ωL >> R Cu and parameter C represents the series connection of both parasitic capacitances between the outermost turns of the respective winding package and the outside magnetic core as well as the capacitive part of Z Fe (120 pF || 120 pF || 1.7 nF in total C = 58 pF). Computing the real part of (21) allows to estimate the impact on the measured ohmic resistance ΔR of the inductor at a frequency of 1 MHz given by (22) This is equivalent to an increase of the winding resistance and a decrease of the quality factor by roughly 20%, respectively. Considering a triangular current mode (TCM) inverter designed to comply with the Google Little Box Challenge specifications [7] , similar to the converter presented in [6] but with lower output inductance value (7 µH instead of 10 µH), it is estimated that the ferrite conduction losses amount on average to an additional 240 mW core loss per inductor. To minimize these additional losses the distance between the outer magnetic core and the winding packages can be increased. However, this leads to an increase in inductor size. A further possibility is to insert a low impedance shielding layer between the ferrite and the winding packages in order to bypass the impedance of the core (cf., Fig. 19(b) ). For this purpose a copper foil with a thickness in the range of 20 µm can be used or the ferrite material can be coated with copper by a galvanic process. As can be seen in Fig. 20 (measurement device Agilent 4294A) the utilization of the shield avoids the conduction losses in the ferrite material, the quality factor at high frequencies increases to the value corresponding to the HF winding resistance (e.g., at f = 1 MHz from Q = 505 to Q = 610). It can also be noticed that the apparent increase of inductance value due to the occurring resonance is shifted slightly to a lower frequency in case of the shielded inductor because of the increase in winding capacitance of roughly 2 pF.
aPPendIx d eLectrIcaL MeasureMent oF surFace Loss
Several electrical core loss measurement techniques have been presented in literature and a comprehensive overview is given in [42] . In the conventional two-winding wattmeter method, the core loss is calculated with the measured primary current and the induced voltage across a second auxiliary winding used to exclude ohmic losses of the excitation winding from the power measurement. The measurement error derived in [41] for a given phase-shift between voltage and current, 2 , and a phase discrepancy introduced by the instrumentation, Δ , is given by (23) Thus, in order to minimize the potential measurement error caused by bandwidth limitations and/or uncompensated delays of the employed probes and to enable the characterization of high-Q, low-loss core materials at high frequencies,the sensitivity to phase errors is reduced by compensating the reactive impedance of the device under test (DUT) with a series connected capacitor or an air core inductor with opposing winding directions [41] , [43] . A disadvantage of this technique is that add. power loss from the resonance capacitor (or air core inductor) is included in the power measurement and must be subtracted from the total loss based on a loss model of the component. The basic circuit schematic of the two-winding method with resonance capacitor is shown in Fig. 21(a) and typical waveforms for sinusoidal excitation are depicted in Fig. 21(b) , showing that the aux. voltage v aux = v L + v C is in phase with the excitation current i p . According to literature, the resistance modeling the core losses is typ. drawn in series with the magnetizing inductance rather than in parallel since this facilitates a straightforward calculation of the losses for given primary current. Fig. 21(c) shows the test circuit employed in this study with additional sense winding with N 2 turns and a varistor at the input to protect the HF voltage source (Iwatsu IE-1125B) from over voltages. The sense winding is not used for the power instrumentation but to ensure the correct flux density amplitude in the sample as mentioned previously. For the twowinding wattmeter method to correctly exclude the winding losses, the excitation and auxiliary winding must feature close to ideal coupling. Now, the total losses measured with the test circuit are the sum of core losses in the E-type test circuit, P test , the losses of the inserted multi-gap sample, P sample , and the additional loss in the resonance capacitor, P cap , 
As proposed at the beginning of Section III, the total losses in the multi-gap core are the sum of the conventional core losses associated with the bulk ferrite material of the individual plates, P sample,c , and the surface related loss component, P sample,s . It follows that,
In order to extract P sample,s from the total measured loss the following idea is proposed. For a specific operating point ｛ , f｝ , two loss measurements using multi-gap samples with distinct number of gaps are carried out. The samples are constructed in such a way that the total ferrite core volume remains constant and the individual gaps are adjusted to achieve identical reluctance. An example of two samples with 5 and 15 plates is provided in Table IV . It follows that for an identical reluctance of the two considered multi-gap samples, the equivalent reluctance of the entire magnetic test setup (test circuit and sample) remains constant and consequently the necessary excitation current to impress a specific flux density level in the sample will be equal. As a result, the losses of the test circuit and the resonance capacitor should ideally remain constant for a given operating point regardless of how many gaps are present in the installed sample. Now, the difference of two loss measurements with samples featuring a total of u and v gaps, is given by
wherein P u sample, c = P v sample, c because the samples are designed to feature identical bulk volume (neglecting minus cule surface layer volume difference between samples), and P u core = P v core , P u cap = P v cap because of the identical reluctance and excitation current as mentioned previously. The surface loss in a sample with u gaps can furthermore be expressed as (29) where κ s is the surface loss density of plates with cross section A p . Inserting (29) in (26) and rearranging yields (30) Thus by subtracting two measurements with identical operating point but using samples with different number of gaps the surface loss density can be extracted. Unfortunately, the perfect cancellation of the test circuit power loss cannot be achieved in reality. Although it is quite challenging, it is possible to tune the gap length such that the impedance analyzer reads similar inductance values of the test circuit with either of the two samples installed. However, achieving a similar overall inductance value does not imply identical leakage flux conditions in the test circuit. Depending on the installed sample (cf., Table IV ), a difference of up to 15% -20% of required magnetization current for a specific flux density amplitude was observed during first preliminary measurements. Now, from (29) and (30) it can be seen that the measurement error of the surface loss density is directly determined by the error in computing ΔP. The error in ΔP is not only affected by the error in the power instrumentation but also takes into account the systematic error arising from different leakage flux conditions in the test circuit and uncertainty in the ESR of the resonance capacitor which can be mitigated by using a large number of turns in the primary winding in order to keep current i p low. Still, a rel. error of 15% -20% in the P tot loss measurement is a reasonable estimate. Furthermore, for a sample with 15 plates and a mid-range operating point｛125 mT, 400 kHz｝the actual surface loss amounts to just 20% -30% of the total measured power, P tot . It follows then that the relative measurement error of κ s is likely in the range (31) which is too pronounced to obtain robust experimental results for a comparison of different ferrite materials and to examine the impact of different machining/manufacturing techniques and post-machining treatments on the surface loss. Since a direct measurement of the sample loss reduces the relative measurement error significantly, the thermometric measurement technique based on accurate temperature rise monitoring as discussed in Section III of this paper was developed.
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